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Abstract

A significant amount of research has been reported on stainless steel tubular sections, while
studies on I- and C-sections remain relatively limited. This paper presents a comprehensive
numerical study on the response of stainless steel I- and C-sections subjected to minor axis
bending, with outstand flanges subjected to stress gradients. Numerical models are developed
and validated against reported test data on austenitic stainless steel sections under minor axis
bending. Subsequently, parametric studies using standardised material properties on austenitic,
duplex and ferritic stainless steel grades, covering a wide variety of cross-section slendernesses,
are carried out to expand the structural performance data. The results are used to assess the
applicability of the Eurocode slenderness limits, revealing that the Class limit 3 for outstand
flanges under stress gradient is overly conservative. Moreover, Eurocode underestimates the
predicted bending strengths, whereas the level of accuracy and consistency improves for stocky
sections, when the Continuous Strength Method is used. Aiming to address the lack of accuracy
and consistency in the design predictions of slender sections, particular focus is placed on their
performance. It is demonstrated that outstand elements under stress gradients exhibit significant
inelastic behaviour after the compression flanges have locally buckled. Inelastic buckling
behaviour is not considered in current design guidance, thus resulting in overly conservative
and fundamentally incorrect strength predictions. An alternative design method based on the
plastic effective width concept is proposed for slender stainless steel 1- and C-sections in minor
axis bending, which leads to more favourable and less scattered strength predictions.

Keywords: Stainless Steel; Local buckling; Outstand Elements; Numerical Modelling; Design;
Plastic effective width.

1 INTRODUCTION

Stainless steels are receiving increasing attention in modern structural engineering
applications, due to their advantageous features, such as aesthetic appearance, high strength and
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considerable ductility. An important benefit is that they offer excellent corrosion resistance
which leads to low maintenance costs and thus to a reduced life cycle cost that offsets the high
initial material cost. Numerous studies were performed on stainless steel structural components
in order to examine their ultimate performance and assess the applicability of codified design
provisions. Tubular sections including rectangular, square, circular and oval hollow sections
have been extensively studied. Examples of reported research include stub [1, 2] and slender
columns [3, 4], beams [5, 6], continuous beams [7, 8] and beam-columns [9, 10]. Even though
the behaviour of cross-sections comprising internal elements has been well understood,
research on cross-sections with outstand flanges remains relatively limited. Experiments have
been carried out to examine the behaviour of I-section stub and slender columns [11], major
[12] and minor axis [13] bending. In addition, research on C-sections, investigating the flexural
response [14] and cross-sectional performance under combined compression and bending [15,
16] has also been reported.

The aim of this study is to generate structural performance data and gain a better
understanding of the structural behaviour of stainless steel sections employing outstand
elements subjected to bending. To achieve this, the paper focusses on the ultimate performance
of I- and C-sections under minor axis bending. Ultimately, the aim is also to assess codified
design provisions for cross-sectional resistance of outstand elements subjected to stress
gradients. Section 2 begins with a brief description of the reported test data on austenitic
stainless steel I- and C-sections subjected to minor axis bending [13, 14] upon which a
numerical model was developed and validated. Using standardised material properties for
austenitic, ferritic and duplex stainless steels [17], a parametric study is subsequently conducted
in Section 3. The numerically obtained flexural strengths are used to assess design predictions
in Section 4. Particular focus is placed on slender sections and design recommendations in line
with the observed response are made. Conclusions and design recommendations are
summarised in Section 5.

2 NUMERICAL MODELLING

Numerical models were generated using the general purpose finite element (FE) software
Abaqus [18]. The FE models were validated against reported experimental results on stainless
steel I-sections [13] and C-sections [14]. A brief description of the experimental programme is
presented in Section 2.1, whilst Sections 2.2 and 2.3 provide information on the development
and validation of the FE models, respectively.

2.1 Selected test data

Experimental studies on austenitic stainless steel beams tested in the 3-point bending and 4-
point bending configuration have been reported in [13] and [14] for I- and C-sections,
respectively. Since the present study focusses on structural components tested under minor axis
bending, only relevant test data from [13, 14] are utilised. Hence, for channel sections emphasis
was placed on the case of minor axis bending with the flange tips in compression which is
designated as orientation “u” in [14]. The tested sections were laser welded and had sharp edges
and corners as shown in Figure 1, where the notation of the section geometry adopted herein is
also included. The dimensions and the designations of the tested specimens along with the
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76  measured imperfections wo and the ultimate experimental moments (Muexp) reported in [13, 14]
77  are summarised for reference in Table 1. The slenderness parameter ci/(tre) Where
78 ¢=[(235/f,)/(E/210000)]°°, and cx is the flat part of the flange (i.e., b/2—tw/2 for I-sections and b-
79  twfor C-sections) is also included. The plate slenderness of the flange (4,) and cross-sectional
80  slenderness (4cs) calculated according to Equations (5) and (7) of this paper are also provided in
81 Table 1. Even though the subsequent parametric study discussed in Section 3 will focus only
82  onbeams loaded in the 4-point configuration, it was decided to base the ability of the FE models
83  toaccurately replicate the experimental response on all relevant available test data under minor
84  axis bending. Therefore, both 4-point and 3-point bending tests were modelled.
85
/\V h /II/ "V h
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\ tw | | |
E—— |t | L
| | |
| ] L ———— —|
L hy b, b hy le
a) l-sections b) C-sections
86 Figure 1: Cross-section geometry and notation of specimens.
87
88 Table 1: Summary of test results [13, 14].
. Section Load Length b h t tw Wo Mo ex
Specimen e case (mr?w) (mm) (mm)  (mm)  (mm) mm) G A e (kNm)
B3 1100 67.99 101.24 5.05 5.07 0.22 (t/23) 6.42 031 025 444
B7 1100 82.26 160.63 11.96 10.04 0.16 (t/75) 3.43 0.18 0.14 17.85
B11 I- 4 900 50.61 50.21 4.10 4.04 0.23 (t/18) 6.39 0.34 0.28 2.06
B13 sections point 1700 133.92 205.21 7.91 5.97 0.11 (t/72) 9.24 0.49 0.33 27.69
B15 1500 11051 219.36 8.97 6.09 0.15 (t/60) 6.70 0.36 0.24 20.93
B19 1100  75.90 150.77 9.90 6.96 0.16 (t/62) 3.83 0.20 0.15 1191
B4 1100 67.50 102.00 4.80 4.80 0.22 (t/22) 6.73 032 026 5091
B8 1100 8258 160.37 11.78 9.83 0.16 (t/74) 351 0.19 0.14 2465
B12 I- 3- 1100  50.47 50.55 3.96 3.98 0.23 (t/17) 6.60 0.35 0.29 2.50
B14 sections point 1700 133.97 205.30 7.88 6.01 0.11 (t/72)  9.27 0.49 0.33 30.48
B16 1100 11047 219.46 8.94 6.10 0.15 (t/60) 6.71 0.36 0.25 28.05
B20 1100 75.80 149.93 9.97 7.01 0.16 (t/62) 3.79 019 0.15 1559
C40x40x5%5 c. 4 750 39.88  39.99 4.84 4.61 048 (t/10) 9.09 0.42 030 295
C100x50x4x4 sections  point 750 49.99 100.28 3.97 3.96 0.72 (t:/6) 1410 0.66 046 3.08
C100%x50%x6x9 750 4945 100.35 8.82 5.93 0.38 (t/23) 6.08 0.29 020 7.48
C40x40x5%5 C- 3 750 39.95 39.94 4,78 4.64 0.48 (t/10) 9.22 043 031 3.19
C100x50x4x4 sections  point 750 49.96 100.97 3.94 3.85 0.72 (t/5) 1421 0.66 047 3.61
C100%x50%x6x9 750 4951 100.35 8.84 5.96 0.38 (t/23) 590 0.28 0.20 9.23
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2.2 Modelling assumptions

The four-noded shell element with reduced integration and finite membrane strains S4R has
been adopted in the development of the FE models, since this type of element has been widely
and successfully used in similar applications [2-6, 8]. The models were based on cross-sectional
centreline dimensions. Upon execution of an initial mesh convergence study, the models were
discretised with a uniform mesh of an element size approximately equal to the plate thickness,
as this mesh size resulted in the optimal compromise between accuracy and computational cost.
The developed FE model for a beam loaded in the 4-point bending configuration along with the
applied boundary conditions is shown in Figure 2. The 3-point FE models were similar to the
models shown in Figure 2, but with one load only applied at the mid-span of the beam.
Kinematic coupling constraints were employed at the supports and at the points of load
application to simulate the plates used in the test to eliminate any local bearing failure.
Symmetry in terms of geometry, boundary conditions, applied loads and failure modes was
exploited by modelling only a quarter of the geometry and applying suitable boundary
conditions as shown in Figure 2, thereby the computational cost was significantly reduced
without compromising accuracy.

Material nonlinearity was modelled based on the von Mises yield criterion with isotropic
hardening. The material behaviour of each section, as determined from reported tensile coupon
test data [13, 14], with the relevant approximations of the adopted stress-strain curves, are
shown in Figure 3. These curves, which are defined in terms of engineering stress and strain,
were converted into true stress atre and logarithmic plastic strain ein® and incorporated into the
FE model by using Egs. (1)-(2), where geng and eeng are the engineering stress and strain
respectively and E is the Young’s modulus.

otrue = oeng (1 +€eng) 1)
|
€|ﬁ =In(+&eng) —otrue / E (2)

In line with past studies [5], residual stresses were not explicitly modelled. However, the
effect of residual stresses on the ultimate capacity was implicitly considered through the
incorporation of the initial geometric imperfections, allowing a successful validation of the
model, as is presented in the following section. This approach is justified, given that both
geometric imperfections and residual stresses lead to an earlier loss of stiffness and precipitate
buckling. A nonlinear static analysis using the modified Riks procedure and taking into
consideration material and geometric nonlinearities [18] was subsequently performed to
determine the response of I- and C-sections subjected to minor axis bending. Initial geometric
imperfections in the form of the buckling mode shape corresponding to the lowest symmetric
elastic critical buckling load were incorporated in the models as discussed hereafter.
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a) I-sections

Z-symmetry:
uz=urx=ury=0

Load point at x (RP-2):
Kinematic Coupling
Y-symmetry:

uy:urx:urz:0

Support (RP-1):
Kinematic Coupling
ux=uy=urX=urz=0

b) C-sections

Figure 2: Geometrical modelling and applied boundary conditions.
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a) I-sections [13]
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800

700

Stress (N/mm?)

—— C 40%x40x5%5

20t C 100x50%x4x4

_____ C 100x50x6%9 - Web
......... C 100x50x6x9 - Flange

0 0.1 0.2 0.3 0.4 0.5 0.6 0.7
Strain (mm/mm)

b) C-sections [14]

Figure 3: Material properties applied in the FE Models.

2.3 Model Validation

In order to evaluate the accuracy of the finite element models, the numerical results were
compared with the experimental ones reported in [13, 14]. Table 2 shows the ratio of
experimental over FE ultimate moment (Mugex/Mure) for varying geometric imperfection
amplitudes. Five imperfection magnitudes were considered, i.e., the measured w, values [13,
14], three fractions of the flange thickness (t#/100, t/50 and t/10) and a fraction of the flange
width (b/200). It can be observed that the initial imperfection magnitude does not have a
significant effect on the ultimate performance of the beams, especially for I-sections. Overall,
a fairly good agreement between the test and numerical data has been obtained with mean
values close to unity and relatively low coefficient of variation (COV). Best agreement was
found to be achieved for the imperfection magnitude b/200. The fact that measured imperfection
amplitudes did not provide the most accurate moment predictions could be related with
inaccuracies in the experimental measurement of the imperfections and with the fact that the
measured imperfection pattern is not represented correctly by the buckling mode shapes
obtained from eigenvalue buckling analysis. Most importantly, the maximum imperfection
value measured over a representative length of each section was adopted as a representative
imperfection amplitude for all specimens employing the same cross-section, whilst it is very
likely that in the region of failure the actual imperfection amplitude was smaller than the
maximum measured one. Typical experimental and numerical failure modes are shown in
Figure 4, demonstrating a close agreement between experimental and numerical response in
terms of the obtained failure mode.

Key numerical results have been extracted and the moment normalised by the plastic
moment resistance (M/Mp) was plotted against the normalised curvature (k/kp) for models
loaded in the 4-point bending configuration (or the normalised rotation (6/6,) for 3-point
bending configuration). The plastic curvature kp and the plastic rotation 6 is defined as the
elastic part of the total curvature (or rotation) at Mp and determined by kp=Mp/El and
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Opi=MpIL/4EI where | is the second moment of area of the cross-section and L is the span.
Typical experimental and numerical moment-curvature (or moment-rotation) responses for the
imperfection magnitude b/200 are shown in Figure 5 in a nondimensional format,
demonstrating that the numerical simulations closely matched the experimental response
throughout the full range of deformations. Similar to some tests reported in [13], several
numerical models of stocky I-sections (with ci/(tre) lower than 7) exhibited a pronounced loss
of stiffness with increasing loading, but no failure occurred, i.e., the recorded moment-curvature
behaviour displayed no maximum. For cases where no failure was observed, the numerical
maximum moment was taken as the moment corresponding to the maximum deformation (in
terms of curvature and rotation for 4-point and 3-point bending respectively) recorded during
testing.

Table 2: Comparison between experimental [13, 14] and FE ultimate moments.
Muexp/ Mure
Section Imperfection Amplitude
Specimen type Load case Wo t/100 t/50 t/10 b/200
B3 1.08 1.08 1.08 1.08 1.08
B7 1.00 0.99 1.00 0.98 0.99
Bl1l I- 4-point 1.14 1.14 1.14 1.14 1.14
B13 sections 1.08 1.08 1.08 1.00 1.01
B15 1.06 1.06 1.06 1.06 1.06
B19 1.06 1.06 1.06 1.06 1.06
B4 0.95 0.95 0.95 0.95 0.95
B8 0.98 0.98 0.98 0.98 0.98
B12 I- 3-point 1.03 1.10 1.10 0.98 1.02
B14 sections 1.14 1.14 1.14 1.07 1.08
B16 1.03 1.03 1.04 1.04 1.03
B20 1.11 1.11 1.11 1.12 111
C40x40x5%5 C- 1.32 1.17 1.19 1.32 1.19
C100x50x4x4 sections 4-point 111 0.95 0.97 1.05 1.01
C100%x50%6x9 1.06 1.08 1.07 1.05 1.07
C40x40x5%5 C- 1.14 1.04 1.06 1.14 0.99
C100x50x4x4 sections 3-point 112 0.98 0.99 1.05 1.03
C100%x50%6x9 1.01 0.99 1.00 1.06 1.00
MEAN 1.08 1.05 1.06 1.06 1.04
cov 0.08 0.06 0.06 0.08 0.06
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170
a) B16[13] b) C100x50x6x9 — 3-point [14]
171 Figure 4: Comparison between typical experimental and FE failure modes.
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Figure 5: Comparison between experimental [13, 14] and numerical response.

3 PARAMETRIC STUDY

Following the successful validation of the FE model, a parametric study was conducted in
order to investigate the structural performance of stainless steel I- and C-sections subjected to
minor axis bending over a wide range of cross-section dimensions. A total of 180 numerical
results were generated. The list of examined parameters is reported in Table 3. The thickness
of the flange tr was varied to extend the slenderness range of available results from the very
stocky end of the spectrum to the slender one, i.e., ci/(ts) in the range of 7.9—39.3. Three cross-
sectional aspect ratios (h/b) were examined. Currently there are experimental results on
outstand elements under stress gradients only for austenitic stainless steels, but no results have
been reported for ferritic or duplex grades. Therefore, in order to expand the performance data
of cross-sections with outstand flanges under stress gradient to other stainless steel grades, the
standardised material properties for austenitic, duplex and ferritic stainless steel grades
proposed in [17] have been adopted herein. The material properties adopted in the parametric
study are shown in Table 4, where n and m are coefficients of the two stage Ramberg-Osgood
material model [19], f, the 0.2% proof stress and f, and ey the ultimate stress and the strain at
ultimate stress, respectively. The resulting stress-strain response is depicted in Figure 6,
showing that the duplex grade has the highest strength, ferritic has the lowest ductility and
austenitic the most pronounced ductility and strain-hardening material properties among the
three grades considered.

All FE models had a 1500 mm span and were subjected to 4-point bending with equal loads
applied at third points of the span. The 4-point bending configuration resulted in a uniform
bending moment region over the central 500 mm of the specimen. Note that for both the I- and
the C-sections beam tests [13, 14], it was shown that the 4-point bending configuration led to
lower moment capacity values compared with their 3-point bending counterparts. Hence, it was
considered a conservative and reasonable approach to proceed with 4-point models only in the
parametric study, as it allowed the investigation of the cross-sectional response without the
added complexity of the effect of a moment gradient. The selected imperfection amplitude for
the parametric study was b/200, which was applied to the lowest symmetric elastic buckling
mode shape. This imperfection magnitude allowed an accurate replication of the experimental
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203  behaviour and was considered a good approximation of real structures imperfections for both
204  stocky and slender sections. In all analyses, failure was due to local buckling initiated in the
205  compressed parts of the flange. Typical elastic buckling modes and failure modes are shown in
206  Figure 7. For all parametric analyses, a moment-curvature curve with a descending branch was
207  observed, allowing the determination of a distinct ultimate moment value. The numerical
208  moment resistance of the models was used to evaluate the applicability of design methods to
209  sections under minor axis bending, as discussed in the following section.

210
211 Table 3: List of parametric studies under minor axis bending.
Total analyses: 180
i e I-sections
2 types of cross-sections ) . :
e C-sections - tip in compression
e Austenitic
3 stainless steel materials e Ferritic
e Duplex
e 1.0(100x100)
3 aspect ratios h/b (hxb): e 1.5(100%66.7)
e 2.0 (100x50)
e 0.5-12mm
10 flange thickness (t) e Resulting slendenress:
Resulting slenderness _Cf/(tfg): 7:9739.3
Jes: 0.29-1.49
Tp: 0.44-2.71
212
213
214 Table 4: Standardised material properties for parametric study [17].
E fy fu &u
(Nmm?)  (Nfmm?)  (N'mm?2) ™ (mm/mm)
Austenitic 200000 280 580 9.10 2.30 0.50
Ferritic 200000 320 480 17.20 2.80 0.16
Duplex 200000 530 770 9.30 3.60 0.30

10
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Figure 6: Material properties used for parametric studies [17].
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b) C-sections

Figure 7: Typical elastic buckling (top) and nonlinear (bottom) failure modes from parametric
study.

4 ASSESSMENT OF DESIGN PREDICTIONS

4.1 EN 1993-1-4 — Slenderness limits for outstand parts

The results generated from the parametric study are used herein to assess the applicability of
the slenderness limits specified in EN 1993-1-4 [20]. The European design standard for
structural stainless steel uses the cross-section classification approach for the treatment of local
buckling. The classification of cross-sections is based on four classes which dictate to which
extend the resistance and rotation capacity of cross-sections is limited by the effects of local
buckling. Class 1 and 2 sections can develop their plastic moment resistance and rotation
capacity albeit the extent to which the latter ones rotate is limited due to local buckling. In Class
3 sections, the elastic moment resistance can be reached and even exceeded but local buckling
prevents the development of their plastic moment resistance; for convenience and to be
conservative, the elastic moment resistance is considered as the moment resistance of Class 3
sections. Class 4 sections fail by local buckling before the attainment of the cross-section yield
resistance.

To classify a cross-section, the slenderness parameter of each of the cross-sectional parts is
compared against slenderness limits and the cross-section is classified as its less favourably
classified element. The slenderness limits depend on the stress gradient and the type of cross-
section part (i.e., whether internal or outstand). For outstand elements under compressive stress
gradient with maximum compression at tip, such as the flanges of an I- section in minor axis
bending, the slenderness parameter is ct/(tre) where cr is equal to b/2-tw/2 according to symbols
of Figure 1. For outstand elements under bending gradient with the tip in compression, such as

12
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the flanges of the examined C-sections, the slenderness parameter for the Class 2 limit is
(ace)/(tre), where « is the ratio of the width of the compressive portion of the flange to the flat
width of the flange, cr is equal to b-tw considering symbols shown in Figure 1 and the rest as
previously defined. The slenderness parameter for Class 3 limit of the same sections is
cil(tiek,"°) where k, is the plate buckling coefficient defined in [21] and equal to 0.57-
0.21y+0.07y? where i is the end tensile to compressive stress ratio of the flat part of the flange.
It is noted that numerous experimental results for internal and outstand elements in compression
and internal elements in bending were available, whilst no test data on outstand elements in
bending were available when the currently codified slenderness limits [20] were proposed [1].
As presented in [1], the Class 3 and Class 2 limits for outstand elements in compression were
obtained following a statistical analysis using all available test data at the time, whereas in
absence of test data for elements under stress gradient, the respective slenderness limits were
inferred from the relevant limits for outstand element in compression using buckling factors to
account for the difference in the applied stresses and no statistical validation has been
performed.

The numerical results generated herein have been used to assess the Class 2 slenderness
limits for outstand flanges when the tip is subject to compression, as shown in Figure 8. The
figure shows the moment resistance obtained from the numerical models My normalised by the
plastic moment capacity My and plotted against the relevant slenderness parameter. It can be
observed that the FE results in the stocky range present lower normalised capacities compared
to the test values. Given that the stocky sections are mainly affected by material response, whilst
the effect of imperfections is minimal, the underestimated capacities could be related to
underestimating slightly the true material response. According to [14], the experimentally
determined stress values were static values and obtained by pausing the tensile tests for 2 min
when approaching the 0.2% and 1% proof stresses and the ultimate stress, whereas no such
pause was applied in the bending tests, the material of which did not experience relaxation.
Overall the results in Figure 8 show that the bending resistance decreases with increasing cross-
section slenderness, whereas the current slenderness limit appears generally safe without being
overly conservative.

The assessment of the Class 3 slenderness limit for outstand elements under stress gradient
is presented in Figure 9, where the moment resistance My normalised by the elastic moment
capacity Me is plotted against the slenderness parameter. For both I- and C-sections, the current
EN 1993-1-4 Class 3 slenderness limits [20] are overly conservative and could be relaxed, as
cross-sections with flange slenderness limits as high as 40 and 30 for I- and C-sections,
respectively, are still able to develop their elastic moment resistance. This observation is in line
with recent research studies on high strength steel channel sections under minor axis bending
with tip in compression, where it was concluded that Class 3 Eurocode limit is excessively
conservative [22-24].

13
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Figure 9: Assessment of Class 3 slenderness limit for outstand elements.

4.2 EN 1993-1-4 — Strength predictions

In this section, the accuracy of the Eurocode predictions is assessed based on the ultimate
bending capacities of I- and C-sections under minor axis bending. The cross-section flexural
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strengths according to EN 1993-1-4 [18] (Mpreq) are equal to plastic (Wpify), elastic (Welfy) and
effective (Werfy) moment capacities for Class 1 or 2, for Class 3 and Class 4 sections,
respectively. Wy and We are the plastic and elastic section modulus on the relevant bending
axis (minor axis herein) and Wes is the effective section modulus determined based on the
reduced cross-sectional area excluding the areas that are ineffective due to local bulking. In
order to determine the effective area of Class 4 cross-sections, the effective width (bef) of
slender constituent elements under compression of width b is calculated according to Eq. (3)

by =bp 3)
Where p is a local buckling reduction factor provided by Eq. (4) for outstand compression
elements

.1 0188 (4)

P = (Z_p_ = )<1

p

Zp is the plate slenderness from Eq. (5)
3 c, /t, (®)

" 284z )k,

and ks is the plate buckling coefficient defined in [21] as a function of the stress ratio .

Figure 10 presents the predicted-to-ultimate (Mpres/My) moment ratio plotted against the
slenderness parameter ct/(tse). The figure shows separately the FE slender (Class 4) and stocky
(Class 1-3) sections. Clearly, for both I-sections and C-sections Eurocode overly underestimates
the flexural capacity. This is quite pronounced for slender cross-sections, revealing the
conservatism of the effective width approach. The overly conservative Class 3 limit also affects
the quality of the design predictions. The predictions in the stocky range appear quite scattered
and underestimated owing to the lack of consideration of the material strain-hardening, as will
be further discussed in the following section.
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Figure 10: Assessment of EN 1993-1-4 design predictions.

4.3 Continuous Strength Method

The apparent disparity between the Eurocode design predictions and the moment resistances
for stocky sections that was shown in Figure 10 has been extensively documented in past studies
[1-16] and is attributed to the material strain-hardening which allows non-slender sections to
reach stresses higher than their nominal yield strength. The Continuous Strength Method (CSM)
was therefore developed as a rational design approach that allows exploitation of the material
strain-hardening in the design predictions for stocky cross-sections [25]. The method has been
recently extended to cover slender cross-sections [26, 27]. The CSM assumes an elastic linear
hardening material model and the strain at which failure due to local buckling occurs (ecsm) is
determined as a function of the cross-sectional slenderness 4. and the yield strain &y, according
to Eq. (6)

025

csm T
cs

5 &y S mm(lS Cig

J for A <0.68
&

y

(6)

—1.05 —1. 05

/1 Cs Cs

Where the coefficient C; is equal to 0.1 for austenitic and duplex stainless steels and 0.4 for
ferritic stainless steels [26].

The cross-sectional slenderness A is provided by Eq. (7)

- f
/lcs = f_y (7)

cr
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Where fr is the elastic critical buckling stress. In order to evaluate the elastic critical buckling
stress accounting for element interaction, analytical expressions have been previously proposed
[28, 29]. In both cases [28, 29], the authors performed an extensive number of finite strip
analysis in CUFSM software, calibrated the results and derived formulae for the elastic critical
buckling stress of various cross-sectional shapes under different loading conditions. Herein, the
equations proposed in [28] are used for the determination of fer. In particular, fer is calculated
from Eq. (8) considering the symbols defined in Figure 1 and the Poisson’s ratio v equal to 0.3
for stainless steels.

2 2
S . ®)
12(—v?) | h—t,

where kw the local plate buckling coefficient, which accounts for the boundary and loading
conditions, evaluated from Egs. (9) and (10) [28] for I-sections under minor axis bending and
for C-sections under minor axis bending and tip in compression, respectively.
a 1 9)
K= 15

NEE)
(26)

" 0.8

According to the CSM, the flexural strength in minor axis bending can then be evaluated by
Eq. (11)

&
M pred =—= Wel fy fOf gci <1
& &

y y

Mg =W, £, |14 o0 Ve Eon g | g Wa || Eon || gor o g
EW,| ¢ W £ €

pl y pl y y

(11)

where « is equal to 1.2 for I-sections in minor axis bending and equal to 1.5 for C-sections
under minor axis bending and h/b<2 [27] and Eg is the strain-hardening modulus of the CSM
linear hardening material model from Eq. (12)

f,—f

E,=—
y C,e,—¢, (12)

where the coefficient Cs is equal to 0.16 for austenitic and duplex stainless steels and 0.45 for
ferritic stainless steels [26]. The remaining material properties are calculated according to Table
4 for this study. The predicted-to-ultimate strength ratios are shown in Figure 11. Compared to
the EN 1993-1-4, it can be observed that the CSM offers significantly improved strength
predictions in terms of accuracy and consistency for stocky cross-sections. However, it can be
observed that the CSM predictions for slender sections are overly conservative, particularly for
I-sections.
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Figure 11: Assessment of the Continuous Strength Method.

4.4 Direct Strength Method

The direct strength method (DSM) was developed by [30, 31] for cold-formed members in
order to overcome the complicated calculation process involved in the effective width approach
when applied to cross-sections of complex geometries. It was extended to cover stainless steel
cross-sections by [32-34]. The DSM relates the resistance of sections to the cross-sectional
slenderness 4., thus allowing the beneficial effect of the element interaction of a cross-section
to be considered, contrary to the element-by-element approach employed by the traditional
effective width method. Even though DSM was originally applied only for slender sections, Eq.
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(13) [34] was suggested for stainless steels in order to evaluate the moment resistance of cross-
sections across the full slenderness range.

095 0.22 _
M pred — (Z 08 — 16 )(\Nel fy) for A >0.474
cs cs B f (13)
M pred — [1+ (1_ 21Mc5)(f—u _l)](vvel fy) for ch <0.474

y
where A is determined from Eq. (7).

The numerical results have been used to assess the applicability of the DSM to both stocky and
slender stainless steel cross-sections. In Figure 12, the predicted moment resistances are
normalised by the numerical ultimate strengths and plotted against the cross-sectional
slenderness. For I-sections, the FE results suggest that the design estimations are consistently
conservative, significantly underestimating the flexural strength throughout the slenderness
range considered. On the other hand, more scattered predictions with increased accuracy for
higher cross-section slenderness values, are observed for C-sections. The observed discrepancy
can be partly attributed to the lack of consideration of the neutral axis shift which takes place
with the onset of local buckling in slender sections. A more significant source of error is
believed to be the actual stress distribution that cross-sections with outstand elements
experience at failure, which deviates from the assumed linear one, as discussed in the following
section. The incorrect consideration of the stress distribution has a significant effect on the
design predictions of I-sections where the contribution to moment resistance of both the tensile
and the compressive flanges is incorrectly estimated. The latter could be related with the fact
design predictions for the methods presented in Sections 4.3 and 4.4 are generally more
conservative for I-sections compared to those for the C-sections.
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Figure 12: Assessment of the Direct Strength Method for stainless steels.

4.5 Plastic Effective Width Method

Research on the structural behaviour of slender steel I-sections under minor axis bending
[35] has shown that the current design model assumed for slender I-sections is fundamentally
incorrect. Despite slender outstands in bending not attaining their elastic moment resistance, it
has been shown that the stress distribution is not linear, as commonly assumed, but contains
regions subjected to nonlinear stresses. In order to assess the applicability of these observations
to stainless steel sections, the generated FE are utilised. Figures 13 and 14 depict the in-plane
longitudinal stresses distribution over the flange at mid-span of I- and C-sections, respectively.
Since slender outstand elements experience local buckling at failure, the stress values extracted
were obtained from the integration points at mid-thickness of the sections, thus excluding any
bending strength components. The figures show the results for the most slender examined cross-
sections with h/b=1.5, while similar is the response for all other slender sections. Moreover, the
results are presented normalised with the proof strength of each stainless steel type. The web-
flange junction and the tip (C for compression and T for tension) is included in the figures. The
stress patterns prior to failure (0.5My) and at failure (My) are also shown.

For I-sections under minor axis bending, nonlinear stresses can be seen on both the tension
and on the compression side. Even for very slender sections, the initially linear elastic stress
distribution becomes highly nonlinear with well-defined stress blocks reminiscent of the plastic
stress blocks corresponding to the attainment of the plastic moment resistance, albeit not
extending throughout the section height. Furthermore, significant strain-hardening in both
tension and compression is observed for all 3 material grades considered. These observations
are in agreement with Figure 9(a), where all sections comfortably exceeded their elastic moment
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resistance regardless even when the slenderness of the flange was 3 times the limiting value for
Class 3 sections. It can also be noticed a decrease in stress in the compressed tips; this reduction
in the longitudinal carrying capacity could be related with the development of high transverse
stresses due to local buckling in addition to the longitudinal ones.

tip (C)
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Outstand flange (mm)

tip (T) --- 0.5Mu
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Normalised in plane stress

a) Austenitic (100x66.67x1 - h/b=1.5, cf/(tre)=36.7, Acs=1.28 )
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c) Duplex (100x66.67x1.33 - h/b=1.5, c;/(tre)=37.7, Acs=1.33 )

Figure 13: Development of longitudinal stresses over the flange at mid-span of typical
slender I-sections.

In C-sections in bending, as clearly shown in Figure 14, stresses higher than the yield stress
develop even when the section fails prior to the attainment of its elastic moment resistance.
Furthermore, the shift of the neutral axis towards the web for slender sections at failure is also
clearly observed. Hence, assuming a linear stress distribution over an effective section with a
stress limit of fy is not in accordance with the observed response and leads to overly conservative
and fundamentally incorrect strength predictions. Therefore, alternative approaches accounting
for the plastic reserve of cross-sections with locally bucked outstands have been developed for
carbon steel. These methods known as plastic effective with methods are based on the
determination of effective widths of the section considering an inelastic stress distribution.
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Figure 14: Development of longitudinal stresses over the flange at mid-span of typical
slender C-sections.

The method considered herein was proposed by [35] for slender hot-rolled and cold-formed I-
sections with flanges subject to stress gradients. This method considers a bilinear elastic
perfectly plastic stress distribution. As stainless steels exhibit significant strain-hardening such
a model is expected to underestimate the stresses corresponding to the plastic effective width,
particularly for the parts of the section the farthest away from the neutral axis. This is clearly
observed in Figures 13 and 14, where the stress values obtained from the FE analysis close to
the extreme compression fibre were well in excess of the nominal yield stress. However, in the
interest of not overcomplicating the proposed design method and given that in current design
procedures for Class 4 sections only stresses lower than the nominal yield stress are allowed, it
was decided not to explicitly consider the effect of strain-hardening in the design model for
Class 4 sections proposed herein.

The plastic width effective method considers the post-buckling reserve capacity of slender
sections according to the stress and strain distributions shown in Figure 15. The method
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suggests that when a slender I- or C-section is subjected to minor axis bending, the strain of the
compressive outstand tip at failure exceeds the yield strain (ey) by a coefficient Cy. For I-
sections, the locally buckled compressive flange behaves plastically for a width equal to be and
at a distance ecc1 from the web. The procedure suggested by Bambach et al. [35] for I-sections
is given in Equations (14)-(25). The coefficients Cy, be and ecc: are initially evaluated by Egs.
(14) - (16). Following, the neutral axis for the new effective section (xp) can be calculated from
Eq. (18) and the moment resistance (Mpred) ON the basis of the stress blocks of the effective
section can be calculated by Egs. (19)-(25). The symbols of these equations are in line with
Figure 15(a).

Flange strain Flange stress
distribution distribution
/IV h /IV
- — Cyey fy
be 2 2 ® o] [b
tw T Eeel
b 7% S = c
bf 5 X}J o Eg
% b4 £~ P
f b f
a) l-sections
Flange strain Flange stress distribution
distribution
p h Y 1) web elastic i1) web plastic
CYSY fy Sce2 fy Sec2
® be @ be ® be
b
Ve B e I <
by tw 4 X A g b,
/ P
. A . i £ by
= =

b) C-sections

Figure 15: Plastic effective width method — strain and stress distribution of the flanges.

C, =3 (14)

b, =b, 0.4 (15)

e, = 0.45b, (16)

b, =0.5b (17)

‘- 2bt [(2b, —b, /2)— (b, —b, —e_,)]+2b,t,b, / 2+ (h—2t, )t b, 8)
2bt, +2b.t. +(h—2t)t,

b, =X, —b, (19)
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b, =&,/ K where (20)

&y = fy lE (21)
C.e

K= — 22

bf—xp+eml+be (22)

c=Db, —bg—bp (23)

f, =(cK)E (24)

b b 2 2
M s = 20t (e, +E‘*+c)+2bptf f,(x, —?")Jrgbngytf +§c2 ft. +(h-2t ), f.c (25

pred

Adopting a similar concept for C-sections, the procedure suggested by Bambach et al. [35] for
C-sections is given in Equations (26)-(38). The outstand flange is subjected to Cyey strain at
failure according to Eq. (26), whereas the plastic effective width be can be evaluated by Eq.
(27) and is at a distance ecc (according to Eq. (28)) from the tip. Upon calculation of the neutral
axis, the Mpred can be calculated by the sum of the stress blocks of the effective section from
Egs. (29)-(38), where all symbols are defined in Figure 15(b). Note that depending on the
geometrical properties and thus the flange’s strain distribution, the web can either be under
elastic stress state (Figure 15(b) i) and Eq. 38(a)) or in the plastic regime (Figure 15(b) ii) and
Eqg. 38(b)).

f
C,=3.67-1.98b, /t, |2 ad1<C, <3
E

b, =0.41+y) e  b<h,
e., = 0.55(1+y)b—b,

2t (b-b/2-e,,)+20tb /24 (h-2t )L, /2

P 2bt, +2bt, +(h—2t,)t,

bt +(h-2t))t,7/2
‘7 2bt, +(h-2t)t,

bg =gy/K where
K= yoy
b—xp—eCCz
£, = fy/E
b, =b-x,
bt, = x, —0.5t, —b, if b, <x, —0.5t,

f,=(x, ~0.5t,)K)E
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It is noteworthy that even though the investigation in [35] was mainly focussed on I-sections,
the authors have also recommended equations for C-sections, suggesting the calculation of the

/f
strain coefficient Cy as a function of b, /t, Ey (EQ. (26)). However, utilising the stress and

strain distributions of the slender C-sections of this study, new equations with a better
agreement to the numerical results are recommended for stainless steel C-sections. As shown
in Figure 15(b), Cy is the strain coefficient at distance ecc2 from the compressive tip. Upon
exporting the FE in-plane longitudinal strain distributions of all slender profiles, Cy, re was
calculated as the ratio of the strain at ultimate load at the reference location (eyecc2) over the
yield strain (&y). As can be seen in Figure 16(a), the Cy re values were found to linearly correlate
with 7cs % (1+y), which is one of the functions already used within the method (see Eq. (27)).
The Cy predicted values (Cy,pred) from Eq. (26) [35] and from the proposed Eq. (39) are also
assessed in Figure 16 (b) showing improved estimation for the latter. Subsequently, Eq. (27)
has been recalibrated to Eg. (40) on the basis of My pres/Mu,re Values in order to improve design
accuracy and consistency (i.e., Mypred/Myre ratios closer to unity and with smaller COVs).
Hence, Eqs. (39)-(40) are proposed for C-sections instead of the previously suggested Egs. (26)-
(27).

Moreover, the equations of this method (i.e., Egs. (14)-(25) for I-sections and Egs. (28)-(40)
for C-sections) were assessed by comparing the FE stress profiles with those found by the
design equations. Examples of this comparison is presented in in Figure 17, where it can be
seen a very good agreement between numerical and theoretical predictions.

C,=20+y) s +1.1<3 (39)

b, =[0.55(1+y)Aes  +0.15y]b <b, (40)
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Figure 16: Proposed plastic effective width for C-sections - Cy coefficient based on FE data
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Figure 17: Comparison between FE and calculated stress distributions.

The applicability of this method is assessed in Figure 18, where the predicted-to-numerical
moment resistance ratios are plotted against the slenderness parameter. The results show that
Bambach et al. [35] method predicts accurately and with a high degree of consistency the
bending capacities of the I-sections throughout the slenderness range considered. The proposed
equations for C-sections are also assessed in Figure 18 (b) showing improved accuracy
compared to those suggested at [35] (i.e. substituting Egs. (26)-(27) with (39)-(40)). Overall, it
is concluded that the improved accuracy of the predictions obtained with the plastic effective
method is attributed to the rational account of the nonlinear stress distribution exhibited by
locally buckled flanges.
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Figure 18: Assessment of Plastic Effective Width Method based on FE results for Class 4
sections.
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494 4.6 Comparison of design approaches
495  This section quantifies the accuracy of the various design approaches previously discussed in
496  Sections 4.2-4.5. The Mpred/My ratios based on all FE results are shown in Tables 5 and 6 for I-
497  and C-sections, respectively, thus allowing a direct comparison of all examined design methods.
498  The tables also present the results separately for stocky and slender cross-sections, where
499  applicable. The Eurocode predictions are overly conservative underestimating the ultimate
500 bending capacity by approximately 43% and 39% for I-sections and C-sections, respectively.
501  The lack of accuracy is more pronounced for slender sections, denoting average Mprea/My value
502  as low as 0.51 for C-sections. DSM appears conservative for both slender and stocky sections.
503  For stocky sections, the CSM provides more accurate bending capacity predictions for both I-
504 and C-sections with Mprea/My equal to 0.80 and 0.91 respectively. Its accuracy decreases for
505 slender sections the strength of which is largely underestimated. The plastic stress distribution
506  of the buckled flanges of slender sections are accurately captured by the plastic effective with
507  method, which results in a Mu/Mpreq ratio equal to 0.91 and a COV of 0.05 for I-sections, clearly
508 outperforming all other design approaches. For C-sections, the same method results in a
509  Mu/Mpred equal to 0.74, whereas the proposed equations are capable of improving further the
510  design accuracy to 0.87 with a significant improvement of the COV to 0.07, the smallest among
511  all methods considered.
512
513
514 Table 5: Assessment of predicted strengths - I-sections.
Mprea/My

Austenitic Ferritic Duplex All

EI(E) Mean COV ’:E Mean COV ':(E) Mean COV :;Ig Mean COV
Stocky only
EN 1993-1-4 (Classes 1-3) 12 066 018 9 065 019 9 065 017 30 065 0.17
CSM ( Acs<0.68) 17 083 006 16 078 009 11 078 008 44 080 0.08
DSM (A <0.474) 10 061 006 9 053 011 9 051 005 28 055 0.11
Slender only
EN 1993-1-4 (Class 4) 18 058 004 21 055 004 21 047 003 60 053 0.10
CSM ( Aes>0.68) 13 065 007 14 064 008 19 061 007 46 063 0.08
DSM (s >0.474) 20 061 004 21 060 004 21 058 004 62 060 005
Plastic effective width [35] (Class4) 18 092 004 21 092 005 21 088 004 60 091 0.5
All
EN 1993-1-4 (All) 30 061 014 30 0581 014 30 052 019 90 057 017
CSM (All) 30 075 014 30 071 013 30 067 015 90 071 014
DSM (All) 30 061 005 30 058 009 30 056 018 90 058 0.8
515
516
517
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518 Table 6: Assessment of predicted strengths - C-sections.
519
Mpred/My
Austenitic Ferritic Duplex All
EE Mean COV E; Mean COV 2‘2 Mean COV ':é’ Mean COV

Stocky only
EN 1993-1-4 (Classes 1-3) 12 081 022 12 079 024 6 077 026 30 0.79  0.23
CSM (4s<0.68) 18 096 007 18 091 011 12 082 011 48 091 0.10
DSM (s <0.474) 9 062 006 9 059 006 3 052 003 21 0.59  0.09
Slender only
EN 1993-1-4 (Class 4) 18 056 0.18 18 057 015 24 049 015 60 051 017
CSM (Aes>0.68) 12 081 010 12 0.80 008 18 0.80 0.09 42 0.80  0.09
DSM (s >0.474) 21 069 013 21 069 013 27 068 017 69 0.69 0.14
Plastic effective width [35] (Class4) 18 0.78 0.14 18 075 012 24 0.71 0.09 60 0.74 0.12
Proposed method (Class 4) 18 091 0.08 18 087 006 24 0.83 0.06 60 0.87 0.07
All
EN 1993-1-4 (All) 30 066 028 30 062 031 30 054 029 90 0.61 0.30
CSM (All) 30 091 011 30 087 012 30 080 010 90 0.86 0.12
DSM (All) 30 067 010 30 066 016 30 067 018 90 0.66  0.15

5200 5 CONCLUSIONS

521 The present numerical study focussed on I- and C-sections with outstand flanges under stress

522  gradient and tip in compression. A numerical model has been developed and validated against

523  test data extracted from the literature on stainless steel sections. A total of 180 numerical results

524  considering various stainless steel grades were generated. Complementing the current structural

525  performance data on austenitic stainless steel I- and C- sections in minor axis bending, a

526  comprehensive study covering also duplex and ferritic steels was presented. The FE results

527  were used to assess design predictions. The current Eurocode Class 3 limits for outstand

528 elements in bending appear to be overly conservative for both I- and C- sections and can be

529 significantly relaxed and could be relaxed, as cross-sections with flange slenderness limits as

530 high as 40 and 30 for I- and C-sections, respectively, are still able to develop their elastic

531  moment resistance. Moreover, the bending capacity predictions of EN 1993-1-4 underestimate

532  the numerical bending resistance of I-sections by 43% on average. The source of the

533  conservatism is different for stocky and for slender sections. For stocky sections, the CSM

534  provides more accurate bending capacity predictions for both I- and C-sections with Mpreds/My

535 equal to 0.80 and 0.91, respectively. The applicability of the DSM was assessed, leading to

536  conservative predictions. On the basis of the FE stress distribution, it was demonstrated that the

537 slender I- and C-sections in bending exhibit a nonlinear stress distribution in the outstand

538 elements, even when they fail prior to the attainment of their elastic moment resistance. The

539 lack of consideration of this effect is the main reason why the current codes generally provide

540  conservative and fundamentally incorrect design predictions in the slender range. To address

541 this, the plastic effective method proposed by Bambach et al. [35] for hot-rolled and cold-

542  formed steel sections subjected to minor axis bending was adapted to stainless I-sections and

543  was shown to accurately predict the numerical bending resistance with Mpres/My equal to 0.91
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and high level of design consistency. On the basis of the FE results, new equations were
proposed to capture the plastic effective width of slender C-sections under minor axis bending.
The equations improved the accuracy of the previously suggested formulae [35] by 13% and
almost halved the corresponding COV. It is recommended that design guidance for slender
sections containing stainless steel outstand elements in bending be based on plastic effective
widths instead of elastic effective widths, as it was shown that the underlying principles for
these methods, namely the assumed stress distribution at failure, is not in agreement with the
observed flexural behaviour of the cross-sections.
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